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Abstract 8 

The behaviour and failure of stiffened steel plates subjected to transverse loading by an 9 

indenter is studied in this paper. Low-velocity dynamic and quasi-static tests of stiffened 10 

plates with geometry adopted from a typical external deck area on an offshore platform were 11 

conducted. The results show that the quasi-static tests provide a good reference for impact 12 

loading situations, although they displayed a larger displacement at fracture. Finite element 13 

simulations of the steel panel tests were performed, using the elastic-viscoplastic J2 flow 14 

theory and a one-parameter fracture criterion. A relatively fine spatial discretization in the 15 

load application area was needed to capture accurately the onset of fracture. In order to locally 16 

refine the mesh, a method for automatic mesh refinement based on damage driven h-17 

adaptivity was implemented and evaluated against results obtained with fixed meshes of 18 

various element sizes.      19 
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1 Introduction 21 

Stiffened plates are widely used structural parts in for instance platform and ship decks as 22 

well as in ship hulls [1], and constitute an important structural component when considering 23 

accidental loads such as low-velocity impact. Low-velocity impact loading, which can be 24 

defined as loading situations where the impact velocity is less than 25 m/s [2], may stem from 25 
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for example dropped objects, ship grounding or ship-ship collisions [3]. In structural design 26 

for impact loads, hand calculations may lead to large costs as conservative assumptions likely 27 

have to be made. On the other hand, structural design by use of non-linear finite element 28 

analysis has the potential of achieving more cost efficient and safe structures. However, 29 

impact problems involve large deformations, plasticity, strain localization and fracture, 30 

phenomena which are not easy to model and simulate numerically with high accuracy and 31 

robustness [1]. In order to establish guidelines for design of structures subjected to impact 32 

loading by use of non-linear finite element analysis, a profound understanding of the physical 33 

phenomena and the numerical tools is needed. This can be achieved by conducting well 34 

instrumented experiments and based on these validating numerical simulation models [4]. 35 

Experimental data from full-scale impact tests are rare and expensive and such tests are 36 

restricted when it comes to instrumentation. Benchmark tests, on the other hand, can be 37 

conducted relatively inexpensively under controlled conditions and with appropriate 38 

instrumentation in a laboratory. The benchmark test has to incorporate the relevant physical 39 

phenomena which are to be captured in a full-scale structure, and has to be supported by 40 

material tests to ensure correct material input in the numerical simulation model.  41 

Extensive research has been conducted over the last decades on unstiffened plates subjected to 42 

low-velocity impact loading, e.g. [5-10]. The effects of the boundary conditions, the shape of 43 

the indenter, the plate material and the velocity and mass of the indenter have been 44 

investigated. In some studies, low-velocity impact tests have been compared with tests 45 

conducted under quasi-static loading. Langseth and Larsen [11] carried out an experimental 46 

study on the plugging capacity of fixed and simply supported square-shaped St-52 steel plates 47 

under low-velocity and quasi-static loading by a circular blunt-edged punch. It was found that 48 

the critical contact force between plate and punch was approximately the same for low-49 

velocity and quasi-static loads, and that the material’s strain rate sensitivity could be 50 

neglected in the structural design. Gruben et al. [12] conducted low-velocity and quasi-static 51 

punch tests on dual-phase and martensitic steel sheets. The experiments shared similarities 52 

with the Nakajima formability tests [13], and covered stress states ranging from uniaxial 53 

tension to equi-biaxial tension. It was found that the response in terms of force-displacement 54 

curves and strain histories at critical locations were similar for low-velocity and quasi-static 55 

loading, independent of material and specimen geometry.  56 

Langseth and Larsen [14] investigated the plugging capacity of stiffened steel panels 57 

subjected to a dropped drill collar which hit the panels between the stringers. The results of 58 
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these experiments were compared with results from tests carried out under quasi-static 59 

loading and from tests on unstiffened plates. It was found that stiffening a plate with stringers 60 

did not influence the critical impact energy compared to a single plate, and that the static and 61 

dynamic force-displacement curves of the stiffened plates were approximately equal. Alsos 62 

and Amdal [15] conducted experiments on one unstiffened steel plate and four types of 63 

stiffened steel plates subjected to quasi-static transverse loading by a cone-shaped indenter. It 64 

was found that for increasing stiffness, the indentation at initial fracture decreased. However, 65 

the stiffened plates displayed significant post-fracture resistance. Liu et al. [16] presented 66 

experiments where stiffened steel plates were quasi-statically loaded at the mid-span by two 67 

different type of indenters. Numerical models of the experiments were validated, and gave 68 

information on the energy absorption of the different structural components. Cho and Lee [17] 69 

carried out impact tests on 33 stiffened steel plates. The impact velocity and mass were in the 70 

range 1.6-6.1 m/s and 42-574 kg, respectively, and the plate thickness and the number and 71 

design of the stiffeners were varied. The results were applied to validate a simplified 72 

analytical model for predicting the extent of damage in the stiffened plates.  73 

Several studies show that the J2 flow theory, based on the von Mises yield function, the 74 

associated flow rule and isotropic hardening, gives an adequate description of steel materials 75 

[18-21], although strain-rate and temperature effects have to be accounted for in some cases. 76 

When it comes to the prediction of ductile fracture in metallic materials, several models exist 77 

in literature. In some models the material damage is influencing the constitutive equations, 78 

e.g. [22-24], while in other models, the yield criterion, plastic flow and strain hardening are 79 

unaffected by the damage, e.g. [25-29]. In impact simulations of large structures such as ship 80 

collisions, the most applied ductile fracture criterion is the critical value of the equivalent 81 

plastic strain [30], sometimes referred to as the fracture strain. This criterion does not account 82 

for the stress-state dependence of the material’s ductility, but has been applied successfully in 83 

several studies, e.g. [31-33]. Failure can also be predicted by forming limit diagrams which 84 

can be strain based [34] or stress based, e.g. [35, 36]. Alsos et al. [37] applied a stress-based 85 

forming limit criterion (denoted the BWH criterion) to predict incipient necking in stiffened 86 

steel plates. The results were generally in good agreement with the experimental results [15]. 87 

Since stiffened plates usually are parts of a large structure such as an offshore platform or a 88 

ship, the size of the structure puts restrictions on the spatial discretization in full-scale finite 89 

element simulations due to computational costs. This leads to challenges in the fracture 90 

modelling as the numerical fracture strain is strongly dependent on the element size. To cope 91 
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with this, various modifications of Barba’s law have been applied for scaling the fracture 92 

strain as function of the element size, e.g. [38-40]. Ehlers et al. [39] performed finite element 93 

simulations of the collision response of three different ship-side structures and found that the 94 

mesh-size sensitivity might be more important than the fracture criterion itself for the cases 95 

investigated. To deal with the element size problem, a method for calibrating the true stress-96 

strain curves as well as the fracture strain based on the element length was proposed [41]. 97 

Storheim et al. [42] presented a failure model where a mesh-size dependent, post-necking 98 

damage evolution rule is coupled with the constitutive model after predicting onset of necking 99 

according to the BWH criterion. The failure model was validated against experiments at 100 

different scales and proved to exhibit good accuracy and robustness. 101 

In this study, the structural response of stiffened steel panels under low-velocity impact 102 

loading is investigated and compared with similar quasi-static test. The experimental results 103 

are used to assess a finite element model of the stiffened panels in which the steel material is 104 

modelled with the elastic-viscoplastic J2 flow theory and a one-parameter fracture criterion. A 105 

method for mesh refinement based on h-adaptively is proposed for handling fracture in large-106 

element simulations. 107 

2 Material tests 108 

The specimens applied in this study are cut from 3 mm plates of Domex 355 MC E, which is 109 

a hot-rolled, low-alloy steel with minimum yield strength of 355 MPa. The material consists 110 

of a ferritic (bcc) crystalline structure, and displays good welding, cold forming and cutting 111 

performance. Thus, the material is well suited for offshore structures. The chemical 112 

composition of the material is given in Table 1. 113 

Three tensile specimens, cut in the rolling direction of the steel plate, were tested under 114 

displacement control in an Instron 5982 tensile testing machine. The nominal geometry of the 115 

test specimen is given in Fig. 1(a). The crosshead velocity was 5 mm/min, giving a nominal 116 

strain rate of 1.2·10-3 s-1. The initial width and thickness along the gauge length of each 117 

specimen were measured at three different locations by a Vernier calliper, and no significant 118 

variation was observed. From optical measurements, a virtual extensometer was applied to 119 

measure the displacement. Images were taken by a Nikon camera with a 105 mm Sigma lens 120 

at a framing rate of 1 Hz. Before testing, the specimen was spray-painted with a speckle 121 

pattern to enhance point tracking, and the displacement field was generated by post-122 
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processing the images by an in-house Digital Image Correlation software [43]. The force 123 

history was recorded by the load cell of the tensile testing machine at a framing rate 124 

synchronized with the camera recordings. The engineering stress was calculated as 0/s F A= , 125 

where F is the measured force and 0A  is the measured initial cross-section area. The 126 

engineering strain was calculated as 0/ 1e L L= − , where L is the extensometer length and 127 

0 30 mmL =  is the initial extensometer length. The true stress, σ , true strain, ε , and true 128 

plastic strain, pε , before onset of diffuse necking were calculated as ( )1s eσ = + , 129 

( )ln 1 eε = +  and /p
mEε ε σ= − , where mE  is the measured Young’s modulus from the true 130 

stress-strain curve in each test. In the three tests, mE  was found to be 175 1 GPa± . Note, 131 

however, that a more accurate test method is needed to identify Young’s modulus, which is 132 

likely closer to 210 GPa for steel. The engineering stress-strain curves are shown in Fig. 1(b), 133 

while Fig. 1(c) shows the true stress-plastic strain curves up to necking. 134 

The width and thickness was measured post-mortem in the tensile specimens at a location 135 

35 mm from the centre necking zone in the longitudinal direction. From these measurements, 136 

the Lankford coefficient was estimated as /p p
W TR ε ε= , where p

Wε  and p
Tε  are in turn the true 137 

plastic strain at diffuse necking in the width and thickness directions of the specimen. All 138 

three tests gave 0.85R = , which indicates a slight plastic anisotropy. Tensile tests were not 139 

conducted in other directions of the sheet, and in the material modelling we will assume the 140 

material to be quasi-isotropic. 141 

3 Component tests 142 

The design of the stiffened steel plate components represents a scaled version of a typical 143 

external deck on an offshore platform. Such platform deck may consist of a ~12 mm thick 144 

stiffened steel plate supported by girders positioned 3-4 m apart in the length direction and 145 

~10 m apart in the width direction. Further, the plate may be stiffened with bulb flats oriented 146 

in the direction of the shortest span with centre distances of ~0.5 m. Due to limitations of the 147 

laboratory equipment, it was decided to perform the tests in scale 1:4. Two different indenters 148 

were applied to study the effect of a relatively large-sized object striking the plate field and a 149 

more locally applied load between the stringers. Tests were carried out under low-velocity 150 

dynamic and quasi-static loading. The loading rate in the low-velocity dynamic tests was 151 

approximately 30000 times larger than in the quasi-static tests. Each test was assigned a 152 
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unique label XX-YZ, where XX stands for low velocity (LV) or quasi-static (QS) loading, Y 153 

denotes the indenter type (C = cylindrical, or H = hemispherical) and Z gives the duplicate 154 

number. Table 2 gives an overview of the conducted tests. 155 

3.1 Specimen geometry and boundary conditions 156 

The test specimen is a 3 mm thick rectangular plate with dimensions 1250 mm 1375 mm× , 157 

stiffened by six stringers in the transverse direction, as shown in Fig. 2(a) and (b). The 158 

stringers have an L-shaped cross-section with a height of 65 mm, a width of 18 mm and a 159 

nominal thickness of 3 mm. Details of the stringer cross-section are given in Fig. 2(c). The 160 

stringers were fastened to the plate by intermittent fillet welds with a throat size of 3 mm, a 161 

weld length of 15 mm, and a centre-to-centre distance of 45 mm, see Fig. 2(d). 162 

Before testing, the specimen was placed into a test rig frame consisting of two support frames 163 

constructed from SHS100x10 members. Details of the test rig frame are presented in Fig. 3. 164 

The support frames were clamped by 8 M16 bolts in property class 12.9. The bottom frame 165 

had 50 mm wide and 70 mm deep cut-outs so that the stringers could be continuous along the 166 

width of the plate, see Fig. 3(d). Additionally, 8 mm thick L-shaped shim plates were placed 167 

between the bottom frame and the specimen. This way the gap around the stringer was 168 

reduced from 50 mm to approximately 10 mm, see Fig. 3(d). Due to the cut-outs, additional 169 

SHS100x10 members were welded to the longitudinal beams in the bottom frame to increase 170 

the stiffness, see Fig. 3(e). Teflon sheets with 3 mm thickness were added at the specimen-171 

top frame and specimen-shim plate interfaces, as illustrated in Fig. 3(d). 172 

In each test, the specimen was loaded transversely at the geometrical centre. Two types of 173 

indenter geometries were used in this study. The first indenter, denoted indenter C, is 174 

cylindrical with hemispherical caps at its two ends, see Fig. 4(a). The length of 350 mm is 175 

sufficient to ensure that contact occurs directly above two of the centre stringers of the plate 176 

field which results in deformation over a relatively large part of the steel panel. The second 177 

indenter, denoted indenter H, is hemispherical, as shown in Fig. 4(b), and used to study the 178 

effect of a more locally applied load between the stringers. 179 

3.2 Quasi-static tests 180 

Two duplicate quasi-static tests were conducted for each of the two indenters in the rig 181 

illustrated in Fig. 5(a). Plate indentation was enforced by a 1000 kN capacity hydraulic jack 182 

from R.D.P. Howden Ltd. run under displacement control at a rate of 10 mm/min. An 183 

HPM U15/1MN load cell was attached to the cross head of the cylinder to measure the 184 
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contact force towards the plate. Due to the large forces and the size of the test rig, the 185 

displacement measurements taken from the position of the load cell may be influenced by 186 

machine stiffness. To circumvent this, the relative displacement between the load cell and the 187 

bottom support frame was measured. Two optical displacement sensors with a measuring 188 

range of 200 mm were attached to the mid span of the bottom frame beams; the position of 189 

one of the sensors is illustrated in Fig. 5(b). The target for the optical displacement sensors 190 

was a horizontal bar attached to the load cell, as shown in Fig. 5(a) and (b).  191 

3.3 Low-velocity impact tests 192 

The low-velocity impact tests of the stiffened steel panels were conducted in a pendulum 193 

impactor  depicted in Fig. 6(a) [44]. The four legs of the lower support frame were fastened to 194 

the reaction wall by welds, as shown in Fig. 6(b) and (c). The impacting mass consisted of a 195 

trolley equipped with a load cell and the indenter, as illustrated in Fig. 6(d). One test was 196 

conducted with the cylindrical indenter, while three duplicates were carried out with the 197 

hemispherical indenter. The load cell recorded the force ( )P t  at 200000 Hz, while the impact 198 

velocity of the trolley, 0v , was measured by a system of photocells located directly in front of 199 

the specimen, see Fig. 6(a) and (b). Two high-speed cameras, Fig. 6(e), recorded the tests at 200 

15000 Hz, thus providing about 450-750 data points in each test. One camera was positioned 201 

perpendicularly to the loading direction, and the digital images from this camera were used to 202 

determine the velocity and displacement of the trolley during the impact. To this end, a patch 203 

with a chessboard pattern was fastened to the load cell, see Fig. 6(f), and the positions of two 204 

points were tracked using the Harris and Stephens corner detection algorithm [45]. The 205 

pixel/mm ratio was established from the known distance between the two tracking points. As 206 

rubber pads are positioned between the floor and the reaction wall, movement of the reaction 207 

wall may occur during testing. During the tests, a laser tracked the relative position of the 208 

reaction wall with respect to the floor, and no displacement of the reaction wall was found.  209 

The displacement was also calculated from data obtained from the force signal in the load 210 

cell. Under the assumption that the trolley, load cell and indenter translated as a rigid body, 211 

the acceleration, ( )u t , velocity, ( )u t , and displacement, ( )u t , of the impacting mass were 212 

found from the force measurement in the load cell, ( )P t , and the initial velocity of the trolley 213 

as 214 

 ( ) ( ) ( ) ( ) ( ) ( )0
0 0

, ,
t t

T

P t
u t u t v u t dt u t u t dt

M
= − = + =∫ ∫       (1) 215 
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Here, 1383 kgTM =  is the mass of the trolley and the part of the load cell behind the strain 216 

gauge used in the force measurement, see [12] for details. The displacement recording from 217 

the load cell was in agreement with the displacement recording from the high-speed camera. 218 

The force between the specimen and the indenter was estimated as 219 

 ( ) ( )1 P

T

MF t P t
M

 
= + 
 

   (2) 220 

where PM  is the mass of the indenter and the part of the load cell in front of the strain gauge. 221 

The mass PM  was equal to 69.3 kg and 46.2 kg for the cylindrical and hemispherical 222 

indenter, respectively. According to Eq. (2), the force between the indenter and the specimen 223 

is in turn 5.0% and 3.3% larger than the measured force in the load cell for the cylindrical and 224 

hemispherical indenter.  225 

3.4 Experimental results 226 

Fig. 7(a) shows the final deformation of the quasi-static test QS-C1 with the cylindrical 227 

indenter, where buckling occurred at the plate boundaries between the central stringers. This 228 

type of buckling was observed in all the component tests, independent of indenter shape and 229 

loading rate. The buckles had a sinusoidal shape, as illustrated in Fig. 7(b), with amplitude 230 

spanning from 3 mm to 5 mm in the different tests. 231 

In the tests conducted with the cylindrical indenter, the two central stringers experienced 232 

inward lateral torsional displacement, as indicated in the case of the QS-C1 test in Fig. 7(a). 233 

This test was stopped before fracture occurred. The other quasi-static test QS-C2 was loaded 234 

to a lower maximum force level, while the maximum force level in the low-velocity test LV-235 

C1 was between the maximum force in the QS-C1 and QS-C2 tests. Fig. 8(a) shows the force-236 

displacement curves from the tests with the cylindrical indenter. The final deformation mode 237 

in all tests with this indenter was similar to the deformation mode shown in Fig. 7(a) for the 238 

QS-C1 test. However, the QS-C2 and LV-C1 tests had smaller deformations as they were 239 

subjected to less external loading.  240 

All the tests conducted with the hemispherical indenter penetrated the specimen, with an 241 

exception of the low-velocity test LV-H3 with 0 4.49 m/sv =  in which the impactor had 242 

slightly less kinetic energy than what was needed to initiate failure. Fig. 8(b) shows the force-243 

displacement curves from the tests with the hemispherical indenter. Notably the quasi-static 244 

tests displayed a larger displacement at fracture than the low-velocity tests. In the quasi-static 245 
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tests, local necking occurred ~23 mm in the radial direction from the apex of the indenter, see 246 

Fig. 7(c), followed by crack propagation ending in a fracture pattern as the one presented in 247 

Fig. 7(d). Fig. 7(c) and (d) are taken from the quasi-static test QS-H1 and the time between 248 

the images is 1.0 s, which corresponds to an indenter displacement of 0.17 mm. The 249 

development of the fracture between these two images was not captured. However, based on 250 

previous experience [12], it is believed that fracture initiated in the neck before a primary 251 

crack propagated as a slant shear fracture from the neck in the directions shown by the white 252 

arrows in Fig. 7(d) and indicated in Fig. 7(e). Further, it is assumed that a secondary crack 253 

was formed in the necking region and propagated as a slant shear fracture in the radial 254 

direction, as indicated by the red arrow in Fig. 7(d) and shown in Fig. 7(f). The fracture mode 255 

in the low-velocity tests differed somewhat from the fracture mode in the quasi-static tests. 256 

The low-velocity tests also exhibited local necking prior to fracture as demonstrated for the 257 

LV-H1 specimen in Fig. 7(g), but here two secondary cracks formed in the radial direction, as 258 

indicated by the red arrows. The fracture mode in the low-velocity tests have some similarities 259 

with the petalling mode observed in several plate impact studies, e.g. [46-48]. In all tests with 260 

the hemispherical indenter, the two centre stringers were pushed outward in the centre of the 261 

plate during the indentation, as can be observed for the LV-H1 test in Fig. 7(g). 262 

As can be seen from Fig. 8(a) and (b), the low-velocity tests display a higher force level than 263 

the quasi-static tests, an effect that may stem from the material’s strain-rate sensitivity since 264 

the striking mass is significantly larger than the mass of the target. The difference in force 265 

level between the low-velocity and quasi-static tests is larger in the tests with the cylindrical 266 

indenter than in those with the hemispherical indenter. This may be due to the smaller region 267 

of the specimen subjected to plastic deformation in the tests with the hemispherical indenter. 268 

Fig. 8(c) and (d) compares the force-displacement response obtained with the two indenters. 269 

The tests with the hemispherical indenter exhibit lower stiffness, which again indicates that a 270 

smaller part of the specimen is activated in the resistance of the applied load. Notably all the 271 

tests with the cylindrical indenter produce a springback after peak force, see Fig. 8(a), since 272 

the panels were not penetrated. The same applies for the low-velocity test with the 273 

hemispherical indenter and 0 4.49 m/sv =  (LV-H3). The time durations of the low-velocity 274 

tests were ~30 ms in the two tests were the indenter penetrated the specimen and ~50 ms in 275 

the two tests where the indenter rebounded from the specimen. 276 
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4 Numerical analysis 277 

4.1 Material model 278 

The elastic properties of the steel panels were described by a Young’s modulus of 210 GPa 279 

and a Poisson ratio of 0.3, and the material density was set to 7850 kg/m3. The inelastic 280 

behaviour of the material was modelled by the rate-dependent (or viscoplastic) J2 flow theory. 281 

The dynamic yield function is given in the form 282 

 ( ) ( ), 0VM ff p pσ σ= − =s     (3) 283 

where 3
2 :VMσ = s s  is the von Mises equivalent stress and s  is the deviatoric part of the 284 

Cauchy stress tensor. The flow stress fσ  is defined by 285 

 

( )

0
0

0
0

1                for 

1  for 

L

L

c

f c
n

p p p
p

pK p p p p
p

σ

σ

  
 + ≤ 
  = 

 
+ + > 

 









   (4) 286 

where p  is the equivalent plastic strain-rate which is work conjugate with VMσ , p pdt= ∫   is 287 

the equivalent plastic strain, 0σ  is the yield stress, and K  and n  are parameters governing 288 

the work hardening. The equivalent plastic strain at the end of the Lüders plateau is given by 289 

Lp , while the parameter 1/
0 0( / ) n

Lp K pσ= −  enforces continuity of the stress-strain curve at 290 

Lp p= . The parameters c  and 0p  define the strain-rate sensitivity of the material. By 291 

neglecting the viscoplastic strengthening factor in Eq. (4), the Considère criterion predicts 292 

diffuse necking in uniaxial tension at 0p n p= − . 293 

The work hardening parameters in Eq. (4) were fitted to the true stress-plastic strain curves 294 

from the uniaxial tensile tests up to incipient necking, as shown in Fig. 1(c). Material testing 295 

at elevated strain rates was not conducted in this study. Instead, the values of the parameters 296 

c  and 0p  identified for a martensitic steel in [12] were found appropriate and used in the 297 

simulations. The constitutive parameters are summed up in Table 3. 298 

The calibrated material model was applied in simulations of the uniaxial tensile tests run with 299 

the implicit solver of LS-DYNA [49]. The specimen was discretized by fully-integrated solid 300 

elements (LS-DYNA Type −2). A converged solution for the engineering stress-strain curve 301 
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was achieved with a characteristic element size of 0.2 mm in the gauge region. A prescribed 302 

velocity was applied to the rigid parts sharing nodes with the deformable region, see Fig. 9(a). 303 

The prescribed velocity was ramped up to 2.5 mm/min over the first 12 s of the simulation 304 

using a smooth transition function. Thus, the gauge region experienced a pre-necking strain 305 

rate of 1.2∙10-3 s-1 like in the experiments. The total simulation time was 300 s. As can be seen 306 

from Fig. 1(b), a reasonable correlation between the experimental and numerical engineering 307 

stress-strain curves was obtained. A better agreement in the post-necking region of the 308 

engineering stress-strain curves could potentially have been obtained by use of inverse 309 

modelling, but this was not deemed necessary for the current application. Notably a 310 

simulation without rate-dependence resulted in an overly rapid decrease of the post-necking 311 

stress level, as shown in Fig. 1(b).  312 

Ductile fracture was modelled by the Cockcroft-Latham (CL) criterion [25]  313 

 ( )
0

, max ,0
p

I C I IW dp Wσ σ σ= ≤ =∫    (5) 314 

where CW  is the fracture parameter. The major principal stress Iσ  is given by [28] 315 

 
2

3
3 3

I VM
µσ σ σ
µ

∗
 −
 = +
 + 

   (6) 316 

where 1
3 ( ) /I II III VMσ σ σ σ σ∗ = + +  is the stress triaxiality, (2 ) / ( )II I III I IIIµ σ σ σ σ σ= − − −  is 317 

the Lode parameter, and I II IIIσ σ σ≥ ≥  are the ordered principal stresses. Being a single 318 

parameter model, the Cockcroft-Latham criterion is easy to calibrate, and the fracture 319 

parameter is estimated as 320 

 
0

fp

C IW dpσ= ∫    (7) 321 

where fp  is the equivalent strain at onset of fracture. However, in contrast to using a constant 322 

fracture strain, the Cockcroft-Latham criterion does take into account the effect of the 323 

hydrostatic and deviatoric stress state.  324 

Since the component tests were to be modelled by larger shell elements, a simulation of the 325 

uniaxial tension test with 3 mm shell elements (LS-DYNA Type 1) was carried out to 326 

calibrate CW . As can be seen from Fig. 1(b), the engineering stress-strain curve from the shell 327 

element simulation displays a stiffer post-necking behaviour than the solid element 328 
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simulation. Ehlers and Varsta [41] proposed a solution to this discretization size effect by 329 

reducing the post-necking hardening for increasing element size. In the present study, the 330 

estimated post-necking hardening is considered a material property, and the same true stress-331 

plastic strain curve is used as input in the shell element simulation of the tensile test.  332 

The fracture parameter was determined from Eq. (7) by considering the element with most 333 

severe deformation. Since the simulated engineering stress-strain curve overestimates the 334 

post-necking stress level, a conservative value of CW  is found by assuming fracture to take 335 

place when the engineering strain in the simulation reaches the same value as the engineering 336 

strain at fracture in the experiment. This approach gives 407 MPaCW = , as shown in Fig. 337 

1(b). A non-conservative estimate, 621 MPaCW = , is found by assuming fracture to occur 338 

when the simulated stress value reaches the final stress value in the experiment, see Fig. 1(b). 339 

In the present study, the average of the these two values was adopted, i.e., CW  was set to 340 

514 MPa. 341 

To check whether or not the deviations in the engineering stress-strain curve obtained with  342 

shell elements has some bearing on the estimated value of CW , an alternative approach was 343 

employed. A simulation of the uniaxial tension test with the solid element model was 344 

conducted, where a 0.0001 mm thick membrane element with 3 mm in-plane size was added 345 

to the surface in the most deformed region inside the local neck, see Fig. 9(a). The point of 346 

fracture in the solid element simulation is readily found because the simulated engineering 347 

stress-strain curve is close to the experimental ones, see Fig. 1(a). The stress and strain 348 

histories of the membrane element were used to estimate the fracture parameter and the result 349 

was 584 MPaCW = , which is in the same range as the average value obtained in the shell 350 

element analysis. For comparison, the most deformed solid element had 1025 MPaCW =  at 351 

the same time instant, which clearly shows the large influence of discretization when it comes 352 

to prediction of ductile fracture in tests with high gradients in the stress and strain fields. 353 

By assuming proportional loading and neglecting rate effects, combination of Eqns. (4), (6) 354 

and (7) gives the fracture strain according to the Cockcroft-Latham criterion as function of 355 

stress state, viz. 356 
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Fig. 10(a) shows the fracture surface obtained from Eq. (8) in the range 1/ 3 2 / 3σ ∗− ≤ ≤  for 358 

the calibrated Domex 355 MC E material. As can be seen from Fig. 10 (a), the Cockcroft-359 

Latham criterion predicts a decrease in ductility for increasing triaxiality at a constant value of 360 

the Lode parameter, and an increase in ductility with increasing Lode parameter for a constant 361 

value of triaxiality. Under plane stress conditions, the stress triaxiality is bounded to the 362 

region 2 / 3 2 / 3σ ∗− ≤ ≤  and, furthermore, the Lode parameter  can be expressed as a function 363 

of the stress triaxiality. Thus, the fracture strain can be expressed in terms of stress triaxiality 364 

alone, and the resulting fracture locus for plane stress conditions is shown in Fig. 10 (a) and 365 

(b). Note that the Cockcroft-Latham  criterion predicts no fracture for 1/ 3σ ∗ ≤ −  in plane 366 

stress states, while for general 3D stress states it predicts fracture for values of σ ∗  down to 367 

2 / 3−  in the case of 1µ = − .   368 

4.2 Finite element modelling 369 

Finite element simulations of the steel panels were run with the explicit solver of LS-DYNA 370 

[49]. In the simulations with quasi-static loading, uniform mass scaling by a factor 710  was 371 

applied to reduce the computational time. To ensure appropriate boundary conditions, the 372 

whole test rig frame was included in the finite element models of the steel panel tests. The 373 

different parts of the model with the hemispherical indenter are presented in Fig. 11(a). To 374 

properly capture the buckling between the centre stringers, a clearance of half the plate 375 

thickness was introduced between the specimen and the top and bottom frames, and a 376 

geometrical imperfection following a sine wave with amplitude 0.5 mm and wavelength 377 

50 mm was added to the plate between the centre stringers. The geometrical imperfection is 378 

indicated in Fig. 11(b). The clearance between the specimen and the test rig frame was 379 

necessary to achieve buckling deformations with the same magnitude as in the experiments, 380 

while the geometrical imperfection accounts for both the geometrical and material 381 

imperfections in the specimen.  382 

The steel panel was discretized by quadrilateral Belytschko-Tsay shell elements (LS-DYNA 383 

type 2) with an initial element size of 25 mm. In the refined mesh along the boundary of the 384 

plate, two subdivisions were carried out resulting in elements with an initial size of 6.25 mm, 385 

see Fig. 11(b). Mesh refinement was also carried out in the region that was in contact with the 386 
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indenter; here three subdivisions resulted in an initial element size of 3.125 mm, see Fig. 387 

11(b). Contact between the specimen and the test-rig frame was handled by the automatic 388 

surface-to-surface contact description, using the shell element thickness as the contact 389 

thickness. The contact between the specimen and the indenter was handled by the surface-to-390 

surface contact description. In this case, the contact constraint was imposed in the centre of 391 

the shell. In the contact between the indenter and the specimen, a Coulomb friction model was 392 

assigned with static and sliding friction coefficients equal to 0.3. In the specimen-top frame 393 

and the specimen-shim plate interfaces, zero friction was assumed, since a Teflon layer was 394 

positioned here in the experiments. The Teflon sheets were not included as separate parts in 395 

the numerical model.   396 

All the parts in the finite element model had the same elastic behaviour as the steel panels. 397 

The test rig frame and the bolts were described by a linear elastic material model, while the 398 

shim plates, which experienced some plastic deformation, followed J2 flow theory with 399 

elastic-perfectly plastic behaviour and a yield stress of 355 MPa. The stiffened panels were 400 

modelled by the rate-dependent J2 flow theory, as described in Section 4.1. The indenters 401 

were modelled as rigid bodies. In the low-velocity simulations, the density of the indenter was 402 

adjusted so that the total impacting mass corresponded to the impacting mass in the 403 

experiments. All parts were discretized with quadrilateral Belytschko-Tsai shell elements, 404 

except the bolts which were discretized with beam elements having a cylindrical cross 405 

section. The shell elements were integrated in the thickness direction following a 7-point 406 

Gauss quadrature. The initial element size used for the test rig frame, shim plates and indenter 407 

were 15 mm, 7.5 mm and ~2.5 mm, respectively. Fracture of the steel panels was modelled by 408 

means of the element deletion method. When Cockcroft-Latham integral W  reached the 409 

critical value CW  in one integration point, the components of the stress tensor were set to zero 410 

in all integration points within the element.  411 

4.3 Numerical results 412 

Fig. 12 compares the force-displacement curves from simulations with the experimental data. 413 

The predictions are found to be more accurate for the low-velocity impact tests than for the 414 

quasi-static tests. Both the force-displacement curves and failure are well predicted for the 415 

dynamic tests. In the simulations of the quasi-static tests with the cylindrical indenter, the 416 

force level is accurate up to a displacement of about 40 mm, then the force is somewhat 417 

overestimated up to a displacement of about 80 mm, and in the final part of the test the force 418 

is underestimated. The latter discrepancy might be due to onset of damage in the Teflon 419 
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sheets in the tests, which increased the friction between the steel panel and the test rig frame. 420 

In the simulation of the quasi-static test with hemispherical indenter, the force is accurately 421 

estimated up to a displacement of about 70 mm, after which the force is overestimated until 422 

failure occurs somewhat prematurely. It is believed that the overestimation of the force level 423 

in these simulations is related to the modelling of the rather complex boundary conditions of 424 

the stiffened plates. Notably the simulations with quasi-static and dynamic loading produce 425 

similar force-displacement curves.    426 

Two quasi-static simulations with the cylindrical indenter were run. In each simulation, the 427 

indenter was reversed at a displacement corresponding to the maximum displacement in one 428 

of the duplicate tests, see Fig. 12(a). Even if the force level is overestimated in the 429 

simulations, the elastic unloading stiffness is very similar to the experimental one. Also, the 430 

unloading stiffness in the low velocity simulations is in close agreement with the experimental 431 

unloading stiffness. As in the experiments, the low-velocity simulation with hemispherical 432 

punch and 0 4.49 m/sv =  rebounded from the steel panel, while the 0 5.7 m/sv =  simulation 433 

penetrated the target, see Fig. 12(d). The quasi-static and low-velocity simulations with 434 

hemispherical indenter display failure at approximately the same displacement. Thus, the 435 

difference in displacement at failure observed in the experiments is not reproduced in the 436 

simulations. The apparent strain-rate effect on the material’s ductility could be accounted for 437 

in Eq. (7) by making the fracture parameter an explicit function of the strain rate, viz. 438 

( )C CW W p=  . However, this would require more tests for calibration.   439 

Fig. 13(a) and (b) shows the global deformation pattern in the quasi-static simulations with 440 

the cylindrical and hemispherical indenters, respectively. The low-velocity simulations had 441 

similar deformation patterns. Clearly a larger part of the specimen is activated in plastic 442 

deformation when the load is provided by the cylindrical indenter. As in the experiments, the 443 

centre stringers experienced an inward lateral deformation mode when loaded by the 444 

cylindrical indenter, while loading from the hemispherical indenter resulted in an outward 445 

deformation mode. The simulations with both indenters resulted in a sinusoidal deformation 446 

pattern between the stringers at the boundaries, as observed in the experiments, see Fig. 13(c) 447 

and (d). Necking and crack formation in the low-velocity simulation with the hemispherical 448 

punch are displayed in Fig. 14. In contrast to the experiments, the simulations did not display 449 

a loading-rate dependent fracture pattern; for both loading rates, a similar pattern with three 450 

radial cracks appeared. The deformation plots in Fig. 14(a)–(d) correspond to the points (a)–451 
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(d) in the force-displacement curve denoted ‘Reference sim.’ in Fig. 15. As seen from Fig. 14, 452 

the largest strain concentration is centred near the apex of the indenter for small 453 

displacements and gradually moves in the radial direction for increased loading. Eventually 454 

local necking takes place approximately 27 mm in the radial direction from the centre of the 455 

indenter, leading to fracture. 456 

4.4 Effect of spatial discretization 457 

In order to illustrate the effect of spatial discretization on the steel-panel impact problem, 458 

additional simulations were carried out for the load case with the hemispherical indenter and 459 

initial indenter velocity of 5.7 m/s. In the three additional simulations, the initial characteristic 460 

element size in the region loaded by the indenter was 25 mm, 12.5 mm and 6.25 mm. The 461 

force-displacement curves are presented in Fig. 15 and compared with those from the 462 

experiments and the simulation with the reference mesh. As can be seen, the global force-463 

displacement response is nearly independent of element size. On the contrary, onset of 464 

fracture, as indicated by a rapid drop in force level, is highly element-size dependent; the 465 

simulation with 6.25 mm elements overestimates the indenter displacement at fracture by ~20 466 

mm, while the simulations with larger elements do not predict fracture at all. Onset of fracture 467 

is governed by Eq. (7) which relies on local stress and strain values. Prior to fracture, local 468 

necking takes place, and this phenomenon is not properly captured by the models with larger 469 

elements. Thus, the large-element models give non-conservative results for the displacement 470 

at fracture. It is noted that the fracture parameter, CW , was calibrated from a simulation of the 471 

tensile test with element size ~3 mm. It is reasonable to assume that a calibration based on 472 

simulations with elements of about equal size to those used in the impact simulations would 473 

have given more accurate predictions. 474 

4.5 Damage driven h-adaptivity 475 

As indicated in the previous section, it can be beneficial to reduce the element size in the 476 

impact region if the aim is to accurately describe failure and crack propagation. In a 477 

simulation of a large scale structure, mesh refinement can be carried out by the analyst before 478 

starting a simulation, but in case the refinement is conducted on a too small region, a rerun of 479 

the simulation with a new mesh has to be performed. The analyst also risks refining an overly 480 

large region, which results in longer computational time than necessary. To overcome this 481 

problem, damage driven h-adaptivity was applied in simulations of the stiffened steel plates. 482 

The h-adaptivity is based on the fission adaptivity proposed by Belytschko et al. [50].  483 
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In the damage driven h-adaptivity, an element is subdivided into sibling elements with a 484 

characteristic element size of / 2h  as W  reach the value 1

1 0

p

IW dpσ= ∫  in an integration 485 

point. Here h  refers to the characteristic element size before subdivision. This subdivision 486 

may be repeated for new critical values, 
0

mp

m IW dpσ= ∫ , giving elements with a size of 487 

/ 2mh . The additional node on the subdivided element adjoining a side of a larger neighbour 488 

element is constrained by interpolation of the displacement fields of the neighbour element, 489 

see [49] for more details. It was found that deleting a subdivided element adjoining a larger 490 

element resulted in numerical instabilities. To avoid this, all the neighbouring elements within 491 

a prescribed radius were subdivided when mW  was reached in a given element. A version of 492 

LS-DYNA was tailored-made for running these simulations. 493 

In the following, a simulation of the low-velocity test with the hemispherical indenter and 494 

0 5.7 m/sv =  is presented, where a maximum of three subdivisions was allowed. The initial 495 

element size was 25 mm, while the final element size after 3 subdivisions was 496 

3/ 2 3.125 mmh = . The radius defining the neighbourhood for subdivision was set to 497 

2h = 50 mm to ensure that a sufficient number of elements were subdivided in order to avoid 498 

numerical instabilities. The subdivisions were conducted for W  equal to 1 0.075 CW W= , 499 

2 0.37 CW W=  and 3 0.63 CW W= . These values of W correspond in turn to equivalent plastic 500 

strains of 1 0/ 2p n p= − , 2 02p n p= −  and 3 03p n p= −  in uniaxial tension when ignoring rate 501 

sensitivity.  502 

The h-adaptivity simulation provides a similar response of the steel panel as the fixed mesh 503 

simulation with 3.125 mm large elements in the fracture region. Fig. 15 shows the force-504 

displacement curves, while the local fracture pattern is shown in Fig. 16. The radius of the 505 

local neck at fracture is ~27 mm in the h-adaptivity simulation as in the fixed mesh 506 

simulation. In the present implementation of the h-adaptivity, the computational cost is 4-5 507 

times lower than in a simulation where the whole steel panel is discretized by 3.125 mm 508 

elements, but still 3-4 times higher than in a simulation with refined mesh in the loading area, 509 

as shown in Fig. 11(b). However, when modelling a complex structure, extra computational 510 

costs due to h-adaptivity may be spared in the total time consumption for the analyst, since 511 

there is no need for defining regions with finer mesh before starting the simulation with the 512 

risks mentioned above.    513 
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5 Conclusions 514 

An experimental study was conducted on stiffened steel panels subjected to transverse quasi-515 

static and low-velocity loading by an indenter. The quasi-static and low-velocity tests display 516 

similar behaviour in terms of global force-displacement response, although the displacement 517 

at fracture is larger in the quasi-static tests. Nonetheless, the quasi-static tests are deemed to 518 

provide a good reference for low-velocity impact loading situations. The finite element 519 

simulations predicted the force-displacement response and failure with good accuracy for the 520 

low-velocity impact tests. On the contrary, errors occurred in the simulations of the quasi-521 

static tests, which at least partly were ascribed to the complex boundary conditions. Fine 522 

spatial discretization was needed in the simulations to capture the onset of fracture. Automatic 523 

mesh refinement based on damage driven h-adaptivity was shown to predict local 524 

deformations and fracture of the steel panels with the same accuracy as a comparable 525 

simulation with a fixed mesh, but at a lower computational cost. 526 
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Tables and figures 660 

Table 1 Chemical composition of Domex 355 MC E (in weight %). 661 

C Si Mn P S Cr Ni 

0.056 0.02 0.59 0.006 0.002 0.04 0.06 
Mo V Cu Al Nb N Cekv 

0.02 0.01 0.01 0.037 0.023 0.006 0.17 
 662 

Table 2 Overview of component tests 663 

 Indenter Test label Fracture Punch velocity 

Quasi-static 
C 

QS-C1 No 

10 mm/min 
QS-C2 No 

H 
QS-H1 Yes 
QS-H2 Yes 

Low-velocity 

C LV-C1 No 4.95 m/s 

H 
LV-H1 Yes 5.70 m/s 
LV-H2 Yes 5.72 m/s 

LV-H3 No 4.49 m/s 
 664 
 665 

Table 3 Material parameters for Domex 355 MC E  666 

0σ  

 

 

K n 0p  Lp  0p  c 
404 MPa 772 MPa 0.0173 -0.00164 0.0240 0.001 1s−   0.004 

 667 

 668 
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 669 

Fig. 1 (a) Nominal geometry of tensile specimen, (b) engineering stress-strain curves from 670 
experiments and finite element simulations, and (c) true stress-strain curves from 671 
tensile tests with power-law fit. 672 
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 673 

Fig. 2 (a) Stiffened steel plate seen from the side of the stiffeners, (b) cross section of test 674 
specimen, (c) detail of stiffener cross-section, and (d) length and centre-to-centre 675 
distance of the fillet welds. 676 

677 
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 678 

Fig. 3 (a) Specimen clamped between lower and upper support frame, (b) cross-section in the 679 
longitudinal direction, (c) schematic view from lower support frame side, (d) profile in 680 
the width direction, (e) details of cross section in longitudinal direction, and (f) details 681 
in cross section in width direction. 682 
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 683 

Fig. 4 Geometry of the two indenters: (a) rounded cylindrical indenter (type C), and (b) 684 
hemispherical indenter (type H). 685 
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 686 

Fig. 5 (a) Test rig for quasi-static indentation tests, (b) position of one of the displacement 687 
transducers and the horizontal bar fastened to the load cell.  688 
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 689 

Fig. 6 (a) Schematic set-up of the pendulum impactor, (b) specimen and support frames 690 
fastened to the reaction wall, (c) detail from one leg of the lower support-plate 691 
fastened to reaction wall, (d) detail of load cell and indenter on trolley, (e) camera set-692 
up for recording the impact tests and (f) load cell with chessboard pattern for optical 693 
displacement measurement. 694 



 29 

 695 
Fig. 7 (a) Post-test image of quasi-static test with the cylindrical indenter (QS-C1), (b) local 696 

buckling along plate boundary between the centre stringers, (c) image from quasi-697 
static test with hemispherical indenter (QS-H1) before fracture and (d) image of the 698 
same test after fracture, (e) close up of region exposed to local necking and initial 699 
fracture, (f) close up of region exhibiting to radial crack path, (g) image of post-700 
mortem low-velocity test with hemispherical indenter (LV-H1).  701 
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 702 

Fig. 8 Force-displacement curves from stiffened steel plate tests with (a) cylindrical and (b) 703 
hemispherical indenter and (c) low-velocity and (d) quasi-static loading.   704 

 705 
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 706 

Fig. 9 Mesh of uniaxial tensile test: (a) solid elements and (b) shell elements. The prescribed 707 
velocities were applied on the rigid body (RB) parts. 708 

  709 
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 710 

Fig. 10  (a) Fracture surface for 3D stress states and (b) fracture locus for plane stress states 711 
defined by the calibrated Cockcroft-Latham criterion. The plane-stress fracture locus is 712 
also shown in (a).  713 

 714 

 715 
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 716 

Fig. 11 (a) Parts in the finite element model and (b) discretization of specimen. 717 
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 718 

Fig. 12  Force-displacement curves from finite element simulations of the stiffened steel plate 719 
tests and comparison with experimental data: (a) quasi-static and (b) low-velocity 720 
loading with cylindrical indenter, and (c) quasi-static and (b) low-velocity loading 721 
with hemispherical indenter; 722 
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 723 

Fig. 13 Final deformation modes in quasi-static simulations with (a),(c) cylindrical indenter 724 
and (b),(d) hemispherical indenter. (The contour levels represent equivalent plastic 725 
strain.)  726 

  727 
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 728 

 729 

Fig. 14 Deformation and fracture in simulation with hemispherical indenter and impact 730 

velocity 0 5.7 m/sv = . (The contour levels represent equivalent plastic strain.) 731 

 732 

 733 

Fig. 15 Force-displacement curves from experiments and simulations with hemispherical 734 

indenter and impact velocity 0 5.7 m/sv = . The points (a)–(d) refer to deformation 735 

plots in Fig. 14(a)–(d). 736 
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 737 

Fig. 16 Fracture pattern in simulations with hemispherical indenter and impact velocity 738 

0 5.7 m/sv = : (a) simulation with fixed mesh and (b) simulation with h-adaptivity. 739 
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